Introduction
Efficient design of metallic structures often involves the exploitation of the inelastic range of the material's stress-strain curve, provided sufficient ductility is available. Modern structural design codes determine the extent to which this exploitation is allowed through the process of crosssection classification. The European structural design codes for carbon steel [1] and stainless steel [2] specify four behavioural classes of cross-sections according to their susceptibility to local buckling. Indeterminate carbon steel structures comprising Class 1 cross-sections classified as Class 1 are assumed to possess sufficient deformation capacity to allow plastic design.
However, despite the high material ductility of structural stainless steels [3] and the existence of a Class 1 limit in EN 1993-1-4 [2] , plastic design is not currently permitted for stainless steel structures.
The absence of suitable guidance for the design of indeterminate stainless steel structures can be partly attributed to a lack of relevant experimental research. The majority of previously published test data relate to individual stainless steel components rather than complete structures, although some tests on continuous stainless steel beams that allow the assessment of moment redistribution have been reported [4, 5] . This paper substantially increases the pool of available test data on indeterminate stainless steel structures, by reporting an experimental investigation on eighteen two-span continuous beams. Both cold-formed hollow sections (SHS and RHS) and welded I-sections are examined. Additionally, tests on simply supported beams with the same cross-sections as the continuous beam specimens are reported and the experimental results are utilised in analysing the continuous beam test results. The experimental response of both the simply supported beams and the continuous beams is then compared with the predictions of EN 1993-1-4 [2] . Analysis of the results reveals that current design provisions are overly conservative, since they do not account for material strain-hardening or the significant moment redistribution (in the case of the continuous beams) taking place before collapse. Hence material savings can be achieved if inelastic design procedures are followed at both cross-section level and system level. To this end, the continuous strength method (CSM), originally developed for stainless steel determinate structures [6] [7] [8] , which allows for the actual material response at cross-sectional level, is adapted to stainless steel indeterminate structures, resulting in more favourable and accurate strength predictions.
An experimental investigation into the structural response of stainless steel simple and continuous beams has been carried out in the Structures Laboratory at Imperial College London.
The employed cross-sections were SHS and RHS in grade EN 1.4301/1.4307 and welded Isections in grade EN 1.4162. Following material coupon tests, five 3-point bending tests on SHS and RHS, four 3-point bending tests on I-sections and four 4-point bending tests on I-sections were initially performed, to extract fundamental flexural performance data. These were utilised to assess the suitability of current design provisions in EN 1993-1-4 [2] . Subsequently eighteen two-span continuous beam tests (five-point bending) were conducted, which enabled the study of stainless steel indeterminate structures and an assessment of the accuracy of current codified provisions. Performing both simply supported and continuous beam tests on the same crosssections enables the study of the effect of moment redistribution on ultimate capacity of indeterminate structures, since the effect of strain-hardening at cross-sectional level is captured in the 3-point bending tests. A full account of the performed experimental investigations can be found in [9] [10] [11] [12] .
Material coupon tests
From each of the cold-formed hollow sections employed in the beam tests, both flat and corner coupons were extracted and tested in tension and the key results are summarised in Tables 1 and   2 for flat and corner coupons respectively. Similarly, Table 3 reports the average tensile properties exhibited by the stainless steel plates from which the welded I-sections were fabricated. All tensile tests were conducted in accordance with EN 10002-1 [13] . In Tables 1-3, E is Young's modulus, σ0.2 is the 0.2% proof stress, σ1.0 is the 1.0% proof stress, σ u is the ultimate tensile stress, ε f is the plastic strain at fracture based on elongation over the standard gauge length (5.65 A 0 ) and n and n '0.2,1.0 are strain-hardening exponents for the compound Ramberg-Osgood model [4, 14] as modified in [6] . The measured stress-strain curves are reported in [10] [11] [12] .
Bending tests on simply supported beams
A total of thirteen tests on simply supported beams was conducted on the same cross-sections as those employed for the continuous beam tests. The tests were used to quantify the effect of cross-section slenderness on the bending resistance and rotation capacity of the tested beams and to assess the suitability of the European codified slenderness limits as well as revised slenderness limits proposed elsewhere [15] . Moreover the simply supported beam tests were utilized subsequently in the analysis of the continuous beam tests, in order to quantify the relative contribution of strain-hardening at cross-sectional level and moment redistribution at system level to the overstrength displayed by the continuous beams compared to the codified predictions.
One test was conducted for each of the three SHS employed in the 3-point bending configuration (Fig. 1) , whilst two tests were conducted for the RHS 60×40×3 specimen, one about the major axis and one about the minor axis. The RHS and SHS beams had a total length of 1200 mm and were simply supported between rollers, which allowed axial displacement of the beams' ends.
The rollers were placed 50 mm inward from each beam end. For the RHS 60×40×3-MA specimen the face containing the weld was the web, whilst in all other cases the face containing the weld was the bottom (tension) flange. A wooden block was inserted at the location of load application to prevent web crippling. All tests were carried out at a rate of 3.0 mm/min. Loads, end rotations, displacements at the points of load application (and at mid-span for the four point bending tests) and strains at a distance of 100 mm from mid-span were all monitored and recorded at one-second intervals using the data acquisition system DATASCAN. Prior to testing, measurements of the geometry of the specimens were taken, which are summarised in Table 4 along with the ultimate moment resistance and the deformation capacity achieved by each specimen. The adopted labelling convention of the cross-section geometry is shown in Fig. 2 .
The rotation capacity was defined according to Eq. (1), where the θ u is the total rotation at midspan when the moment-rotation curve falls back below the plastic moment capacity M pl as obtained from the test results and θ pl is the elastic component of the rotation when M pl is reached defined as θ pl =M pl L/2EI (I being the second moment of area and L the beam length) as shown in Fig. 3 . The rotation at mid-span was assumed to equal the sum of the end rotations.
All specimens failed by local buckling of the compression flange and the upper part of the web, as shown in Fig. 4 . The recorded mid-span moment-rotation (at plastic hinge) responses of the tested beams are depicted in Fig. 5 in a non-dimensional format; the recorded moment has been normalised by the respective plastic moment resistance, while the rotation at plastic hinge has been normalised by θ pl , to facilitate comparison between the specimens. For each of the four welded I-section geometries considered herein one simply supported beam was tested in the 3-point configuration and one in the 4-point configuration as depicted schematically in Figs. 6 and 7, where the employed instrumentation is also shown. Each specimen had a total length of 3000 mm and was simply supported between two steel rollers placed 100 mm inwards from the ends of the beams. Lateral restraints were provided at the load points and supports to prevent lateral torsional buckling. The generalized member slenderness of the test specimens LT λ defined in EN 1993-1-4 [2] varied between 0.29 and 0.34, which is lower than codified limit of 0.4 below which lateral torsional buckling may be ignored. For the 3-point bending tests, the load was applied at mid-span while for the 4-point bending tests the load was applied at two points (900 mm from each support). For each of the tested beams, web stiffeners were provided at both the end supports and the positions of the applied loads. Displacement rates and data acquisition was respectively, where, in accordance with similar studies [16, 17] , the local buckling half wavelength in the 3-point bending configuration is shown to be significantly longer than for the 4-point bending configuration. The section dimensions and key experimental results from the beam tests are summarized in Table 5 . The deformation capacity is defined in terms of plastic by the plastic moment capacity M pl , the rotation at mid-span taken as the sum of the end rotations θ is normalized by θ pl , and the curvature κ is normalized by κ pl .
Continuous beams tests
Eighteen two-span continuous beam tests were conducted on the same section sizes employed for the simply supported beam tests. All tests were displacement-controlled with a loading rate of 3mm/min in terms of vertical crosshead movement. Two symmetrical loading configurations were employed to vary the required rotation capacity and moment redistribution before collapse.
In the first configuration, denoted '1/2 span', the loads were applied at mid-span, whilst in the second configuration, 'denoted 1/3 span', the loads were applied at a distance equal to one third The SHS and RHS specimens had a total length of 2400 mm, whilst the total length of the welded I-sections was 5000 mm. All beams were resting on three roller supports; the end rollers allowed free axial displacements, while the central roller was fixed against axial displacement.
The clear span between the roller supports was 1100 mm for the RHS and SHS beams and 2400 mm for the I-section beams, whilst a further 100 mm were provided at each specimen end. Web crippling was prevented by inserting wooden blocks in each of the SHS and RHS specimens and by providing doublesided web stiffeners to the I-sections at the support points and at the loading points. The loads and reactions were applied through a steel block of thickness 15 mm and width 30 mm, to prevent local bearing failure. Similarly to the simply supported beam tests, lateral restraints were provided to the I-beams at the support and load points to prevent lateral torsional buckling.
The measured geometric properties and key experimental results are summarised in Tables 6 and   7 for the SHS/RHS and I-sections respectively. As well as the ultimate load at collapse Fu, the load corresponding to the formation of the first plastic hinge at the central support, denoted F h1 , and the theoretical plastic collapse load F coll are also included. Note that these loads Fu refer to the total applied load, with the each of the two individual point loads being F u /2. The load F h1
was determined based on elastic calculations, whereas F coll was determined by classical plastic analysis procedures, assuming rigid-plastic material (and moment-rotation) response. All specimens failed by developing three distinct plastic hinges, one at the central support and one at each loading point. Typical failure modes for both arrangements considered are displayed in
Figs. 14 and 15 for SHS/RHS and I-sections respectively. Load-deformation responses are shown in Figs. [16] [17] [18] [19] , where the total applied load is normalised by the theoretical collapse load F coll reported in Tables 6 and 7 and plotted against average end rotation.
Analysis of results and assessment of design methods
In this section, the reported test data are analysed and discussed. The applicability and accuracy of a number of design methods are assessed on the basis of the reported results. These include the design provisions specified in EN 1993-1-4 [2] , the continuous strength method [6] [7] [8] , and conventional plastic design, assuming rigid-plastic material behaviour as is customarily applied to carbon steel structures. For the simply supported beams, discrepancies between the actual resistance and code predictions are due to the effect of material nonlinearity (i.e. strainhardening) at cross-sectional level, while for the continuous beams (indeterminate structures), nonlinearity affects both individual cross-sections, due to material strain-hardening, and the full structural system, due to statical indeterminacy and the corresponding moment redistribution typically achieved in structures comprising stocky cross-sections. Measured geometric and material properties have been used throughout the comparisons, and all partial factors have been set equal to unity.
Cross-section classification
As mentioned earlier, no distinct difference in the treatment of class 1 and class 2 sections exists in EN 1993-1-4 [2] , since plastic design of stainless steel indeterminate structures is not currently allowed, despite the existence of a class 1 slenderness limit. Whether a stainless steel structure is determinate, or indeterminate, elastic analysis need be applied and plasticity may only be accounted for at cross-sectional level, provided that the cross-section is class 2 or better.
Hence failure is assumed to occur when the most heavily stressed cross-section reaches its codified resistance, as determined through cross-section classification, without any allowance for moment redistribution. Exploitation of material strain-hardening is not allowed for, thereby leading to overly conservative ultimate capacity predictions of both determinate and indeterminate stainless steels structures comprising stocky cross-sections. Additional conservatism in EN 1993-1-4 [2] is due to the adopted slenderness limits, which have been shown to be overly stringent and could be relaxed based on the available test data [15] .
Moreover, in the case of the SHS and RHS, the significant strength enhancements in the corner regions brought about by the cold forming process [18, 19] are not explicitly accounted for, thereby further increasing conservatism.
The codified ultimate capacity predictions based on the slenderness limits and effective width formulae of EN 1993-1-4 [2] are assessed on the basis of the reported test data in Tables 8 and 9 for the simply supported and continuous beams respectively. The predictions based on proposed revised slenderness limits and effective width formulae [15] and those based on the Continuous Strength Method (discussed in the following subsection) are also included for comparison. On average, EN 1993-1-4 [2] underestimates the capacity of the simply supported beams by 28%
with a COV of 9%. Slightly improved results in terms of consistency and efficiency are obtained when the calculations are based on the revised slenderness limits and effective width formulae, where the capacity is underestimated by 26% and the COV is 8%. A higher conservatism can be observed for the SHS and RHS, due to the fact that the corner strength enhancements have not been take into account. Similar observations can be made for the continuous beams in Table 9, where, as expected, the conservatism is higher, since as well as the strain-hardening at crosssectional level, the moment redistribution exhibited by indeterminate structures employing stocky cross-sections is also not taken into account.
The Continuous Strength Method
Current design provisions have been shown to significantly underestimate the capacity of stocky stainless steel cross sections as they fail to account for the material strain-hardening [3] [4] [5] [6] [7] [8] [9] [10] [11] 15] .
To address this shortcoming the continuous strength method (CSM) has been developed and statistically validated as an alternative design approach that rationally exploits material strainhardening at the cross-sectional level. It is essentially a strain based design approach that employs a 'base curve' to determine the strain that a cross-section can sustain, in conjunction with a material model that allows for strain hardening, to determine section resistance. The maximum attainable strain ε csm by a cross-section prior to the occurrence of local buckling is given as a function of local slenderness by Eq. (3), for cross-sections with 68 . 0 λ ≤ cs ; more slender cross-sections lie beyond the scope of the CSM and should be designed with the aid of the revised effective width formulae [15] or the direct strength method (DSM) [20] . where ε y =f y /E is the yield strain and ε u =1-f y /f u is the strain at the ultimate tensile stress. The nondimensional cross-sectional slenderness cs λ is defined by Eq. (4).
where f cr is the critical buckling stress corresponding to the lowest (local) buckling mode pertaining to the loading case considered, which can be obtained by eigenvalue buckling analysis using a finite element or finite strip analysis. In this paper the software CUFSM [21, 22] was utilized to obtain the critical buckling stresses. Conservatively, cross-section slenderness could also be calculated on the basis of the most slender plate element in the cross-section, in accordance with the provisions of [2] and [23] . The resulting slenderness value given by Eq. (4) may be further refined by multiplying it by the maximum flat width to mid-line width ratio of the constituent plate elements; this adjustment accounts for the fact that only the flat width of the constituent plate elements may buckle locally, whereas the root radii remain undeformed.
Having established the maximum strain that can be reached by the cross-section and assuming a linear strain distribution for cross-sections subjected to bending (i.e. planarity of the crosssection) the corresponding stress distribution at failure can be obtained. The adopted material model is of the elastic-strain hardening form shown in Fig. 20 . The strain-hardening slope E sh is given by Eq. (5), whilst the ultimate moment resistance M csm for an RHS or an I-section subjected to major axis bending can be obtained from Eq. (6) [24] . A detailed account of the latest developments to the CSM can be found in [25] . 
Since the CSM explicitly accounts for material strain-hardening at cross-sectional level, more favourable ultimate capacity predictions can be achieved for both simply supported and continuous beams if the cross-section resistance is based on the CSM rather than on crosssection classification, as shown in Tables 8 and 9 for simply supported and continuous beams respectively. For the SHS/RHS, the effect of the enhanced corner strength has been explicitly accounted for according to the provisions given in [18, 19] .
On average, the ultimate capacity of the simply supported beams is underpredicted by the CSM by 10% with a COV of 0.09, as shown in Table 8 . For the continuous beams, the CSM gives more favourable strength predictions compared to the classification procedures, but failure to account for moment redistribution still results in conservatism, as evidenced in Table 9 , where a mean value of the ratio of predicted to experimental capacity of 0.76 is observed. Hence, it can be concluded that the CSM adequately predicts cross-section resistance, but requires refinement to allow for moment redistribution. The application of plastic design to stainless steel continuous beams is examined hereafter.
Plastic design
In plastic design, unlike conventional elastic design, failure is defined by the formation of a mechanism of plastic hinges at ultimate load, thereby allowing redistribution of bending moments and the exploitation of the structure's reserve strength due to statical indeterminacy.
The structure is generally assumed to behave elastically up to the formation of the first plastic hinge upon which, the hinge is assumed to rotate freely maintaining its plastic moment capacity and allowing moment redistribution to other parts of the structure until a sufficient number of hinges form and the structure collapses. Since it was originally devised for carbon steel structures, plastic analysis is based on the adoption of an elastic, perfectly-plastic material response. The analysis procedure is significantly simplified by assuming rigid-plastic material behaviour and utilising the classical theorems of plasticity (i.e. upper bound theorem, lower bound theorem, uniqueness theorem). Sufficient cross-section rotation capacity is required at the location of the plastic hinges, since the plastic hinges are assumed to maintain their strength while undergoing large rotations, until the collapse mechanism forms. Hence, ductility i.e. the ability of a material or cross-section to undergo large inelastic deformation without significant loss of strength, emerges as a key property for plastic design.
Despite the deviation of stainless steel's material response from the assumed bilinear elastic, perfectly-plastic model, application of plastic design to stainless steel indeterminate structures is considered herein. The theoretical collapse load F coll has been calculated assuming rigid plastic material response for all continuous beam specimens and is given in Tables 6 and 7 Note that, for comparison purposes, plastic design has been applied to all test specimens, regardless of the cross-section slenderness and, as expected, the capacity of the most slender specimens is overpredicted. The results indicate that plastic design provides safe predictions of the resistance of stainless steel continuous beams with stocky cross-sections, whereas conservatism decreases with increasing cross-section slenderness. In Table 10 , test and calculated resistances for the tested continuous beams using the EN 1993-1-4 [2] and the proposed slenderness limits [15] are again assessed on the following basis: the capacity of the specimens with Class 1 cross-sections is calculated by means of plastic design, the resistance of the Class 3 beams is calculated using elastic design and for the Class 4 beams, elastic design and effective section properties are used. The revised classification approach seems to offer more consistent ultimate capacity predictions than that of EN 1993-1-4 [2] . However the embedded conservatism remains significant, since only spread of yielding throughout stocky cross-sections is allowed, whereas strain-hardening at cross-sectional level is not accounted for.
The Continuous Strength Method for indeterminate structures
Stainless steel indeterminate structures with stocky cross-sections possess high deformation capacity, and moment redistribution will occur prior to collapse regardless of whether or not such an assumption is made in the design. Furthermore, moment redistribution may cause joints to be subjected to higher moments than the ones for which they have been designed. Hence, better prediction of the actual response of stainless steel indeterminate structures is necessary for both safe and economic designs to be achieved. From the presented analysis, the significance of material nonlinearity for stainless steel indeterminate structures both at cross-section and at system level, has been revealed. The current design approach of EN 1993-1-4 [2] accounts for neither and therefore leads to overly conservative strength predictions, particularly for stainless steel indeterminate structures with stocky cross-sections. Improved capacity predictions are obtained when either material strain-hardening or moment redistribution are accounted for. The development of a method combining the merits of both is desirable, since both strain-hardening at cross-sectional level and moment redistribution affect the structural response of stainless steel indeterminate structures. A method for plastic design of carbon steel structures, which takes into account strain-hardening, was recently proposed in [24] and its applicability to stainless steel indeterminate structures is assessed herein.
Outline of the method
A modification to the traditional plastic analysis procedure currently applied to carbon steel structures, was recently proposed [24] , and verified using experimental results of both hot-rolled and cold-formed continuous beams [26] . The method, called the CSM for indeterminate structures, allows for moment redistribution in a similar fashion to traditional plastic analysis and for exploitation of material strain-hardening. The full CSM cross-section resistance is assigned at the location of the critical plastic hinge (i.e. the plastic hinge subjected to the largest rotation demand), while a degree of strain-hardening is also allowed for at subsequent hinges. In essence, the method utilises the upper bound theorem of limit analysis and relies on the determination of a suitable collapse mechanism. The novelty of the method lies in adopting an elastic-linear hardening material response, as shown in Fig. 20 , rather than the traditional rigidplastic material response, thereby allowing for strain-hardening at cross-sectional level and moments larger than the plastic moment resistance to be attained by stocky cross-sections.
For a given structural configuration all possible collapse mechanisms (i.e. location and relative rotation of the plastic hinges) have to be identified. in a manner similar to traditional plastic design. For illustration purposes, Fig. 22 depicts a typical collapse mechanism pertinent to a two-span continuous beam loaded with point loads. For each collapse mechanism, the rotation demand α i of each of the i hinges is determined according to Eq. (7). 
where θ i is the relative rotation derived from kinematics considerations for the collapse mechanism considered, hi is the section height at the considered location and (ε csm / ε y ) i is the corresponding normalised strain ratio at the i th hinge. The critical plastic hinge is identified as the one that undergoes the greatest deformation demand α crit relative to the deformation capacity of the cross-section at that location (ε csm / ε y ) crit ; the deformation capacity is given by Eq. (3) in terms of strains. In cases of constant section sizes, the critical hinge is simply the one that undergoes maximum rotation, as limited by its deformation capacity. The deformation demands in terms of strains at other plastic hinge locations are then assigned relative to that of the critical hinge, according to Eq. (8). 
Based on the resulting strain demands, the corresponding moment capacities at the location of the plastic hinges are calculated by means of the CSM. For the first plastic hinge, the full deformation capacity is exploited, while for subsequent plastic hinges, deformations are reduced in proportion to the plastic hinge rotations ratio, as determined from kinematics. This is illustrated in Fig. 23 where a typical moment-rotation response for a plastic hinge is depicted. At the plastic hinge associated with the greatest deformation demand, the full bending moment M csm is attained at the rotation θ csm , while the moment M i at each subsequent plastic hinge location is determined on the basis of the ratio of the rotation θ i to θ csm as determined from the collapse mechanism considered. Hence, following this procedure, the bending moment diagram at collapse is obtained. Finally the collapse load is determined by equating the external work done by the applied loads to the internal work resulting from rotation of the plastic hinges, as in conventional plastic design. The mechanism yielding the lowest collapse load is the critical collapse mechanism for the structure considered.
Clearly, sufficient deformation capacity must be available for moment redistribution to occur in stainless steel indeterminate structures. EN 1993-1-1 [1] is based on a minimum rotation capacity of R=3 [27, 28] . This rotation capacity is assumed to be possessed by Class 1 crosssections. However in the case of stainless steel structures, the relevance of this rotation capacity R, which is defined on the basis of a cross-section being able to attain its plastic moment resistance M pl , is less clear. Hence, instead the deformation capacity adopted herein relates to the maximum attainable strain ε csm , as given by Eq. (3). In accordance with [24] a minimum ε csm /ε y value for the critical plastic hinge of 3 for I-sections and 3.6 for box sections is assumed as the limiting (minimum) value for moment redistribution to be considered.
Assessment of the method
The CSM for indeterminate structures has been applied to the continuous beams tested in this study. Its accuracy is assessed in Table 11 , where the predicted collapse load F pred is normalised by the experimentally obtained collapse load F u . The normalised deformation capacity ε csm /ε y , as well as the classification according to the revised slenderness limits [15] , is also included. On average the experimental capacity is underpredicted by 9% with a COV of 6%. This constitutes a significant improvement compared to all other design methods which have been assessed in Tables 9 and 10 in terms of both design efficiency and consistency of the predictions. It should also be noted that on average the CSM for indeterminate structures displays similar conservatism to the CSM for determinate structures, as shown in Table 8 for the simply supported beams. The higher COV observed for determinate structures is attributed to the effect of the moment gradient on moment resistance, which is not accounted for by any design method. This suggests that the CSM for indeterminate structures adequately addresses the issue of moment redistribution. Similar conclusions to those described above are also drawn by analysing the test results of the six two-span stainless steel continuous beams reported by Mirambell and Real [4, 5] . The described design methods are assessed on the basis of these test results in Tables 12 and 13, for design procedures based on elastic analysis and plastic analysis respectively.
Discussion
A key assumption underlying the CSM for indeterminate structures is that the required deformation capacity at the plastic hinges at collapse can be determined from the ratio of the plastic hinge rotations assuming a rigid plastic collapse mechanism. For example, for the '1/2 span' configuration the kinematics imply that, at collapse, the bending moment at the central support should be equal to the bending moments at the spans since the hinge rotations are equal.
During the experimental study, both the total applied load and the reaction at the central support have been monitored and recorded. Hence, taking into account the symmetry of the structure, the reactions at the end supports can be obtained, and thus the bending moment diagram for each beam can be derived from the recorded test data for each increment of the loading history and utilised to assess the validity of this assumption.
In Fig. 24 , the experimentally derived ratio of the central support moment to the span moment M support /M span is plotted against the jack displacement for the SHS 50×50×3-1specimen tested in the '1/2 span' configuration. The theoretical moment ratios are 1.2 and 1.0 for elastic analysis and rigid plastic analysis respectively. These limits have been plotted with horizontal dotted lines, while the vertical dotted line passes through the displacement value at which collapse (i.e.
ultimate load) occurred. The experimentally derived moment ratio may be seen to be equal to the elastic ratio at the early stages of loading and migrates towards the plastic ratio following yielding, spread of plasticity and subsequent moment redistribution with increasing jack displacement. Similar behaviour can be observed in Fig. 25 for the SHS 50×50×3-2 specimen loaded in the '1/3 span' configuration. In this case the moment ratio based on elastic analysis An additional assumption underpinning the CSM for indeterminate structures is that structural collapse occurs when the cross-sectional deformation capacity at the critical plastic hinge is reached. This implies a monotonic moment-rotation response for all plastic hinges and simplifies the design procedure. However, such an assumption may be overly conservative for some configurations and accounting for the softening branch of the moment-rotation response may be beneficial since the evolution of plasticity and strain-hardening at successive hinges and the corresponding increase in energy dissipation could increase the ultimate load. However, dealing with softening materials (or moment-rotation characteristics) can be complex, although some effective algorithms on the matter have been proposed [29] and applied successfully to continuous cold-formed steel purlins [30] .
Based on the reported results and the accuracy of the predictions, the application of the CSM as modified for indeterminate structures is proposed herein for stainless steel indeterminate structures. Further research into the topic is underway, since improvements in design efficiency may be achieved if the proposed method is optimised on the basis of additional experimental and numerical results considering indeterminate structures with a higher degree of redundancy and more general loading conditions. Moreover, the adopted minimum deformation capacity values, beyond which CSM for indeterminate structures is applicable, should be reassessed on the basis of a larger data pool.
Conclusions
Following an experimental study comprising thirteen 3-point bending tests and eighteen two- 
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